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Abstract

The use of pultruded-fibre-reinforced polymer (PFRP) composite profiles in structural
applications is rapidly increasing, due to their high strength-to-weight ratio, corrosion
resistance, and durability. Bolted joints between PFRP play a critical role, as localized
high stresses in a material that typically exhibits brittle behaviour—especially in tension
and shear—can lead to sudden failure. This study aims to investigate the mechanical
performance of such bolted connections (in terms of stiffness, strength, displacement
capacities and failure modes), contributing to the development of reliable yet optimized
design criteria for structural applications. In particular, numerical analyses of single-
bolted connections in PFRP profiles are presented in the paper. To emphasize the general
validity of the model and demonstrate its applicability across different configurations, the
simulations were validated against experimental results from three separate test campaigns,
which varied in both material (three different PFRP composites) and geometry (profile
thickness, bolt diameter, and hole–end distance). Finite element models using continuum
shell elements in ABAQUS, based on the Hashin failure criteria, successfully captured
typical failure modes, including shear-out and pin-bearing. Two analysis approaches—
implicit and explicit solvers—were also compared and discussed. Sensitivity analyses were
carried out to enhance the model’s accuracy and its computational efficiency. The validated
model was then extended to simulate different configurations, investigating the role of the
main parameters influencing the connections.

Keywords: composite profiles; bolted connections; numerical simulations; explicit solver;
implicit solver

1. Introduction
Fibre-reinforced polymers (FRPs) are composite materials composed of high-strength

fibres embedded within a polymer matrix [1–4]. The fibres impart strength and stiffness
to the composite, while the matrix binds the fibres together, enabling them to act as a
unified material system and protect them from environmental damage. The reinforcing
fibres are typically synthetic, such as carbon, glass, aramid, or basalt fibres, although
natural cellulose-based fibres (e.g., jute, hemp) are also increasingly utilized for developing
sustainable composites. The polymer matrix is generally a thermoset resin, such as epoxy,
polyester, or vinyl ester. By varying the type and proportion of fibres and polymer matrix,
a wide range of composite materials with tailored mechanical properties can be produced.
These composites are manufactured through various processes, including weaving, hand
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lay-up, resin transfer moulding, vacuum bagging, and pultrusion. Pultrusion is particularly
common for producing continuous composite profiles; in this process, fibres are drawn
through a resin bath and subsequently cured as they are pulled through a heated die.

The use of pultruded-fibre-reinforced polymer (PFRP) composite profiles in civil engi-
neering has grown rapidly over the past three decades in civil engineering [1–7]. Initially,
their application was limited to the repair, strengthening, and retrofitting of concrete and
masonry structures [8–13]. However, in recent years, their adoption has expanded signif-
icantly due to their versatile properties, such as their light weight combined with their
high strength and stiffness, their resistance to corrosion, their controllable thermal proper-
ties, their lower life cycle cost, their enhanced fatigue life and the fact that they are inert
towards magnetics [5]. These characteristics make composite profiles highly advantageous
for a variety of structural applications. Glass-fibre-reinforced polymer (GFRP) profiles
are most commonly used in construction of new infrastructures like pedestrian bridges,
communication towers and low-rise buildings.

PFRP profiles can be assembled using various methods, including bolted connections,
adhesive joints, or a combination of both. Among these, bolted connections are the most
commonly used in civil engineering structures. The preference for bolted connections is
primarily due to their ease of construction, faster assembly, and straightforward disassem-
bly for inspection and maintenance purposes, and they are also the most economical and
cost-effective [14–16]. However, a critical aspect of using PFRP profiles is the connection
itself, as it is often the point where stress concentration occurs. Proper design and analysis
of these connections are thus crucial to ensure the structural integrity and performance of
the system.

Bolted connections in PFRP profiles can fail in several modes, depending on various
factors such as the composition of the material (i.e., fibres amount and orientation), the
geometry of the jointed profiles, the position of the bolts and the loading direction. The
primary failure modes include pin-bearing, shear-out, cleavage, splitting and net tension,
as shown in Figure 1. Extensive research and experimental campaigns have been conducted
to understand the conditions under which these failures occur [7,14,15,17–22].

Figure 1. Schematization of typical failure modes of GFRP bolted connections subjected to longitudi-
nal tensile load.

For example, referring to load along the longitudinal pultrusion direction, Rosner
and Rizkalla and [14] carried out a comprehensive experimental programme to investigate
the effects of geometric parameters, such as end distance (e) and plate width (w), with
respect to bolt diameter (d), on the performance of GFRP bolted connections. Single-bolted,
double-lap joints were studied: when e/d = 1–3 and w/d ≥ 5, the dominant failure mode
was cleavage failure (i.e., an initial crack parallel to the applied loading direction developed
at the end of the plate along the end distance and started growing towards the plate
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hole, thereby leading to the development of other fractures and cracks around the net
section due to formation of in-plane bending stresses). When w/d < 5, net tension failure
occurred, regardless e/d (e/d = 1–12); it was characterized by a crack along the net section
perpendicular to the applied load. As e/d and w/d both increased to ≥5, the failure shifted
towards more favourable bearing failure (i.e., localized crushing of the material in the
vicinity of the bolt hole, with an enlargement of the plate hole). They further observed that
the connection resistance increased approximately linearly with increasing plate thickness
(t = 9.5 to 19.1 mm).

Abd-El-Naby et al. [19] carried out an experimental campaign on double-lap joints
using two different types of GFRP materials, namely grey (52 specimens) and yellow
(45 specimens). The grey material consisted of 73% unidirectional fibres and 27% outer
layers of chopped strand mat (CSM), whereas the yellow material contained 59% unidi-
rectional rovings and a higher proportion of CSM (41%). The bolt diameter was fixed
at 9.5 mm. For the grey material, e varied from 40 to 140 mm and w between 30 and
70 mm; for the yellow one, e = 30 to 70 mm and w = 20 to 38 mm. The experimental results
revealed three primary failure modes: net tension, shear-out, and bearing. For the yellow
material, net tension failure within the CSM layers occurred when the specimens had a
small w combined with a large e. Shear-out failure in the central unidirectional fibre layer,
characterized by the formation of a hat-shaped wedge, was observed when e was small.
When both the e and w were increased, bearing failure occurred in the outer CSM layers,
while shear-out failure developed in the central unidirectional fibre layers. For the grey
material, w was sufficiently large and only shear-out and bearing failures occurred. When
there was a small e, the shear-out failure was abrupt; when there was an intermediate e,
it became gradual; for a large e, bearing failure occurred. The critical end distance was
defined, for each w, as the distance at which the maximum resistance of the connection was
attained, beyond which further increases in the end distance did not enhance strength. The
increased thickness of CSM in the yellow material enabled a more uniform distribution of
stresses compared to the grey material.

Tajeuana et al. [21] conducted an experimental study on single-bolt GFRP joints, focusing
primarily on single-lap configurations to assess the effects of varying end distances and side
distances (s), with respect to bolt diameter. In single-lap joints with e/d = 3 and s/d = 2,
cleavage failure was predominant. Occasionally, shear-out and net tension failures also occurred.
Increasing both e/d and s/d to 4 definitely shifted the failure mode to shear-out and improved
the peak load capacity. A few double-lap joints with e/d = 3 and s/d = 2 were also tested,
showing cleavage failure. Double-lap joints exhibited a more stable load–displacement
response and higher load capacity than single-lap joints, due to their symmetrical loading,
which minimized out-of-plane bending and other secondary effects.

Martin et al. [17] performed experimental tests on double-lap joints with various end
distances (e/d = 1.9, 3.1, 4.4, and 8.8) while keeping w/d = 5. They observed that for the
specimens with the two lower e/d ratios, sudden shear-out failure occurred, with an abrupt
loss of resistance after the peak. For the highest e/d ratio, the failure mode was pin-bearing
and the load was also almost maintained under a large displacement, when shear-out
failure was also observed. For an intermediate e/d ratio, localized pin-bearing failure was
initially observed, but it was immediately followed by shear-out failure.

The effect of loading direction has been extensively investigated by several researchers,
who have addressed inclined and transverse loading conditions with respect to the main
pultrusion direction. For example, Rosner and Rizkalla [14] compared longitudinal (0◦),
inclined (45◦) and transverse (90◦) loading conditions, varying the e/d and w/d ratios.
Net tension failure occurred for both inclined (45◦) and transverse (90◦) loading, for con-
figurations with e/d and w/d ratios ranging from 1 up to higher values of 10. When the
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w/d ratio was further increased (13.4), cleavage failure occurred at e/d = 1, and this then
shifted to net tension failure for e/d = 2–5. For e/d = 10.7, pin-bearing failure occurred. The
cleavage failure that typically occurred under longitudinal (0◦) loading was suppressed
under inclined (45◦) and transverse (90◦) loading when w/d ≥ 5 and e/d < 4. Cleavage and
bearing failure required larger widths (w/d ≥ 13) to avoid net tension failure. Overall, it
was observed that the resistance of the connection under longitudinal loading (0◦ along the
main pultrusion direction) was 18% and 24% higher than that under the inclined (45◦) and
transverse (90◦) loading directions, respectively.

Turvey [18] analyzed single-bolt connections under longitudinal (0◦), transverse (90◦),
and inclined (30◦ and 45◦) loading. Four different width-to-diameter ratios (w/d = 4,
6, 8, and 10) were considered. Under the transverse loading condition, the ultimate
resistance increased with increasing w/d ratios; however, net tension remained as the
failure mode. For the longitudinal loading direction, the failure mode was dependent on
the e/d ratio: when e/d ≥ 4, bearing failure occurred, whereas for e/d < 4, shear-out failure
was observed. In the case of inclined loading condition (30◦ and 45◦), net tension failure
occurred consistently, even for larger e/d ratios of 6 and w/d ratios of 10, highlighting the
dominance of transverse tensile stresses in these orientations.

In general, referring to the main loading direction (i.e., the longitudinal one), shear-out
failure tends to dominate when the end distance of the connection is small. On the other
hand, net tension failure is more likely to occur when the width of the profile is insufficient.
If both the end distance and width are inadequate, cleavage failure can result. Conversely,
when both the end distance and width are sufficient, bearing failure typically occurs, while
in the transverse and inclined loading conditions, net tension failure is more likely to
dominate due to the lower transversal tensile strength. Among these failure modes, bearing
failure is the most desirable, because it is ductile in nature, allowing for large deformations
and providing warnings before final failure, also enabling load distribution in the case of
multi-bolt connections. In contrast, shear-out, net tension, cleavage and splitting failures
are brittle, leading to sudden and catastrophic failure without any prior indication.

Unlike steel, for which standardized guidelines and well-defined testing procedures
are firmly established, FRPs present a significant challenge for universal standardization
due to their inherently variable compositions. The mechanical properties of composites
are highly sensitive to the type, volume fraction, and orientation of fibres, as well as to
the nature of the polymer matrix. As a result, even minor changes in constituent materials
or manufacturing processes can lead to substantial variations in structural behaviour. To
provide a framework for design, several standards and guidelines have been developed.
These include EN 13706 [23], which specifies requirements and test methods for pultruded
profiles in structural applications, the EUROCOMP Design Code and Handbook [24], which
offers comprehensive design recommendations and classification systems, and CNR-DT
205/2007 [25], an Italian guide that details the design and execution of structures using
PFRP elements.

Despite these established documents, the inherent variability of composite materials
means that experimental characterization remains indispensable whenever the composition
or fibre architecture changes. Testing is essential to accurately determine mechanical and
strength properties in the longitudinal, transverse and out-of-plane directions. Moreover,
conducting exhaustive experimental campaigns to capture the strength and failure modes
of composite connections is essential. But experimental testing is often complex and time-
consuming, particularly given the vast array of possible geometric configurations and
loading conditions. To address this, researchers have increasingly turned to numerical
simulations, leading to the development of a variety of failure criteria to predict damage
initiation and evolution in composite structures. FRP-specific material models are required,
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rather than directly the isotropic models commonly used in civil engineering (e.g., for steel
or concrete), since FRP composites are strongly anisotropic/orthotropic, with properties
that vary by direction, and they fail through multiple distinct modes in the longitudinal
and transverse directions (fibre tension, fibre compression, matrix tension, and matrix
compression). Consequently, accurate prediction of the damage initiation and progression
of these failure modes requires anisotropic constitutive laws and mechanism-specific failure
criteria combined with progressive-damage formulations. Among these, the Hashin [26],
Puck [27], and Larc05 [28] failure criteria are widely recognized and extensively used.
These failure criteria assess damage in both fibres and the matrix under different loading
conditions. Moreover, in recent years, progressive-damage models have been employed to
track damage evolution under loading. ABAQUS [29] includes an in-built Hashin failure
criterion; however, its applicability is limited to shell and continuum shell elements. More
recently, the Larc05 criterion has also been integrated into ABAQUS versions 2024 and 2025
for shell and continuum shell elements.

Numerical modelling of FRP-bolted joints is carried out mostly in the aircraft indus-
try but also in civil engineering, and it has been widely explored to reduce the need for
extensive and often costly experimental campaigns [21,30–47]. Over time, these models
have evolved significantly, ranging from simplified two-dimensional (2D) analyses to more
detailed three-dimensional (3D) representations, and from purely linear elastic formula-
tions to advanced progressive-damage models capable of capturing nonlinear and failure
behaviours.

Among these, Turvey and Wang [31] developed 2D (FE) models by using ANSYS
FE software [48] for single-bolt tension joints in pultruded GFRP plates, accounting for
factors such as bolt–hole clearance and friction. Their study highlighted the inadequacy
of simplified normalized stress-based design approaches, such as those adopted in the
EUROCOMP code [24], due to the sensitivity of stress distributions to contact conditions
and applied loads. However, their model remained within the elastic regime and did not
incorporate damage progression or post-elastic behaviour. To address this limitation, vari-
ous researchers have developed two- and three-dimensional progressive-damage models,
enabling accurate damage assessment in the nonlinear range.

Tajeuna et al. [21] developed a two-dimensional finite element model using ADINA
8.7.3 [49] to simulate single-bolt, single-lap and double-lap GFRP–steel connections to
investigate the influence of geometric parameters. The GFRP plate was discretized with
nine-node quadrilateral elements, using a refined mesh around the bolt hole to improve
accuracy. The material behaviour was modelled as orthotropic plasticity, with input pa-
rameters derived from experimentally measured tensile properties, including ultimate
strain. The bolt was idealized as a rigid half-cylinder to reduce computational cost, and
contact between the bolt and plate was defined using ADINA’s surface contact formulation.
The model was first validated against experimental results for both joint types, showing
good agreement in peak strength and failure modes. A parametric study was then con-
ducted varying both the end distance and side distance in the ranges of 1 ≤ e/d ≤ 5 and
1 ≤ s/d ≤ 5. While the numerical model successfully captured all observed failure modes, the
load–displacement response beyond the peak load was not simulated. This limitation may be
attributed to convergence difficulties or the intrinsic restrictions of the analysis setup.

Du et al. [50] developed a three-dimensional progressive-damage model in Abaqus/
Explicit to simulate the behaviour of double-lap joints in pultruded GFRP composites. Their
approach integrated a nonlinear shear response, the Hashin failure criteria, and a strain-
based continuous stiffness degradation law into an explicit vectorized custom-defined user
material (VUMAT) subroutine. This allowed the model to capture the progressive damage
evolution of the composite under quasi-static loading, which was applied using a gradually
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increasing displacement. The numerical predictions showed good agreement with the
experimental results, validating the effectiveness of the model. However, a key limitation
of this approach is that the progressive-damage formulation is not natively available in
ABAQUS. It requires users to compile and integrate the VUMAT subroutine with ABAQUS,
which can be technically demanding and presents a significant barrier for many structural
engineers without advanced programming or finite element backgrounds.

Recently, Arruda et al. [43] introduced an implicit three-dimensional damage model
based on the Hashin failure criterion. This user-defined material (UMAT) model customizes
damage initiation and progression by incorporating fracture energies and residual strength
parameters in a user subroutine in the implicit solver. To mitigate convergence issues, the
model employs an implicit-to-explicit solver. The shear-out and pin-bearing failure were
simulated without having any convergence problems.

Liu et al. [45] developed a numerical model for a single-lap joint between a carbon–
FRP laminate and a steel plate using countersunk fasteners. In their approach, continuum
shell elements were used to capture intralaminar ply failure, while cohesive elements were
implemented to simulate interlaminar damage under Mode I (traction) loading. For Mode
II (shear) and mixed-mode delamination, a user-defined VUMAT incorporating 3D Hashin
failure criteria and the Camanho degradation law [51] was employed. Their simulations,
performed using the ABAQUS/Explicit solver [29], showed excellent agreement with the
experimental results, and no convergence issues were reported. However, their study was
limited to modelling bearing failure as the dominant failure mode.

To the best of the authors’ knowledge, the application of ABAQUS/Explicit using in-
built failure criteria has not yet been explored in detail for FRP-bolted joints. While several
2D and 3D user-defined material models are available in the literature [43,50] for PFRP
composites, they are not directly accessible within ABAQUS. These models often require
significant computational effort, specialized expertise, and additional software integration
for pre- and post-processing, which limits their practical usability. This paper aims to
address this gap by employing the built-in composite damage modelling capabilities of
ABAQUS/Explicit to simulate the response of FRP-bolted joints. The main purpose is to
evaluate the capability and reliability of the developed model in simulating the performance
of bolted joints—including the prediction of the different failure modes and the post-elastic
behaviour—and to thoroughly understand the role of the different fundamental mechanical
parameters that govern the performance. Different GFRP materials and joint configurations
are considered to achieve more thorough and robust validation.

In this manuscript, the general features of the numerical model for single-bolted
joints are first presented. This is followed by a description of the three types of composite
materials considered for validation, and the corresponding experimental features and
results obtained for double-lap connections. The reliability of the numerical model is then
proven by comparison with the experimental data for all material types and configurations.
Furthermore, comprehensive sensitivity analysis is conducted to optimize computational
efficiency while maintaining acceptable accuracy. In addition, parametric analyses are
performed to evaluate the influence of the main material’s mechanical properties on the
performance of the connection.

2. Numerical Model Features
The numerical model of the single-bolted double-lap joint shown in Figure 2a was

developed in the latest version of ABAQUS/Explicit version 2025 [29]. The general config-
uration consists of two steel plates with an inner GFRP pultruded plate. The X-axis was
designated as the longitudinal direction of the GFRP plate, aligned with the unidirectional
roving, which corresponds to the direction of the major elastic modulus. To reduce com-
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putational costs, only one-fourth of the model was developed, with symmetry boundary
conditions applied in both the Y and Z directions. The steel plate was modelled with
the full length and thickness but half the width, while the composite plate was modelled
with the full length, half the thickness, and half the width. Additionally, one-fourth of
the bolt was modelled. The far end of the GFRP composite plate was fully constrained in
all directions, and a linearly increasing X displacement was applied to the far end of the
steel plate to replicate the experimental loading conditions. A 1 mm gap was maintained
between the plates, consistent with the experimental setups.

  
(a) (b) 

Figure 2. A generalized model description for single-bolted, double-lap joints in ABAQUS: (a) boundary
conditions and (b) partial description with meshing.

The continuum shell elements with eight nodes and reduced integration (SC8R) were
selected for the composite plate, which was modelled in two separate parts, one being
assigned only elastic properties, and the other—surrounding the bolt region, where stress
concentrations and failures are expected—being assigned mechanical failure-capable prop-
erties (nonlinear behaviour). The elastic and inelastic parts of GFRP plates were tied
together. Orthotropic engineering constants were considered for both. Additionally, the
built-in Hashin damage failure and progression criteria (applicable only for shell and con-
tinuum shell elements) were assigned to the inelastic part. The inelastic plate was assigned
tensile, compressive, and shear strength parameters in both the longitudinal and transverse
directions for damage initiation. For damage progression, the tensile and compressive
fracture energies were specified in the longitudinal and transverse directions. The details
of these parameters are explained later in Section 4. On the other hand, continuum three-
dimensional solid elements with reduced integration (C3D8R) and with isotropic elastic
behaviour were used for both the bolt and steel plate. The combination of SC8R and C3D8R
elements ensured both an accurate representation of composite damage mechanisms in
the FRP and a reliable simulation of the steel components. The general contact algorithm
for the explicit solver was applied for the contact between the bolt and the steel plate and
also between the bolt the GFRP plate. Contact interactions between the plate and bolt
were defined as hard contact in the normal direction, and a coefficient of friction of 0.2 was
applied in the tangential direction, as recommended by various researchers [31,43].

The mesh size for the steel plate was set to 3 × 3 × 3 mm3, while the bolt was meshed
at 1 × 1 × 1 mm3. For the elastic region of the composite plate, we used a mesh size
of 4 × 4 × 4 mm3, and the region around the bolt was refined to 0.7 × 0.7 × 1 mm3,
with 1 mm in the thickness direction. A mesh sensitivity analysis was performed (as
detailed in Section 5.3 of the manuscript), and the mesh size was selected as the ideal
compromise between accuracy and computational efficiency. The explicit solver with a
dynamic procedure was used to perform the simulations. The displacement applied on
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the steel plate was increased gradually, to avoid dynamic effects, ensuring that the kinetic
energy remained negligible throughout the simulation, with respect to the input energy.
Mass scaling with a target increment of 5 × 10−7 was set to reduce the computational time
without compromising the accuracy of the analysis (the duration of the simulation on a
machine with 8 CPUs was reduced approximately from 24 to 42 h to 2–6 h). However,
preliminary sensitivity analyses were performed to compare the capabilities of the explicit
solver with those of the implicit one and to properly calibrate the mass scaling and mesh
size, as will be discussed later in Section 5.

3. Experimental References
Three different experimental campaigns were selected to carry out the numerical

simulations of single-bolted double-lap joints, considering different GFRP materials. This
selection was based on the need to cover various composite GFRP materials and various
geometric configurations. The mechanical characteristics for the three GFRP materials
denoted as Type-A, Type-B and Type-C are shown in Table 1 and are described in the
subsequent sub-sections.

Table 1. Mechanical properties of GFRP pultruded profiles.

Property Type-A Type-B Type-C Standards
for Type-A

Standards
for Type-B and

Type-C

Longitudinal Tensile Strength (MPa) 334 395 360 EN ISO 527-1 [52] EN ISO 527-1
Longitudinal Compressive Strength (MPa) 316 440 280 ASTM-D695 [53] EN ISO 14126 [54]
Transverse Tensile Strength (MPa) 29 19 100 --- [43] EN ISO 527-1
Transverse Compressive Strength (MPa) 51.9 45 35 ASTM-D695 EN ISO 14126
In-plane Shear Strength (MPa) 35 19 50 ASTM-D5379 [55] EN ISO 14130 [56]
Longitudinal Young’s Modulus (MPa) 23,100 32,600 27,000 ASTM-D695 EN ISO 527-4
Transverse Young’s Modulus (MPa) 2900 3800 7000 ASTM-D695 EN ISO 527-4
In-plane Shear Modulus (MPa) 3000 3029 5800 ASTM-D5379 EN ISO 14130
Interlaminar shear modulus (MPa) 2500 2500 5800 ASTM-D2344 [57] --- [58,59]
Interlaminar shear strength (MPa) 33.8 19 30 ASTM-D2344 --- [58,59]
Poisson ratio (υ12) 0.28 0.23 0.23 EN ISO 527-1 [52] EN ISO 527-1 [52]
Poisson ratio (υ23) 0.3 0.28 0.28 --- [43] --- [58,59]

For the mechanical parameters not determined experimentally (---), values from the literature were assumed.

3.1. GFRP Material “Type-A”

Martin et al. [17] carried out a broad experimental testing campaign on single-bolted
double-lap joints. The GFRP material, denoted by “Type-A” for simplicity onward in this
paper, was thoroughly characterized experimentally, and the detailed properties, along with
the test procedures, are reproduced in Table 1. Typical values from the literature [43] were
selected when the experimental test was not applicable (transverse tensile strength and
Poisson’s ratio υ23). The Type-A material was made from E-glass fibres and an isophthalic
polyester resin matrix, in which the mass fibre ratio was 55%.

Experimental testing was performed on plates t = 8 mm thick and w = 40 mm wide,
with a bolt diameter d = 8 mm. Four different bolt–end distances were investigated,
e = 15, 25, 35, and 70 mm, as illustrated in Figure 3a. The setup is schematized in Figure 3b:
the composite plate was sandwiched between two stainless steel plates, with a 1 mm gap
between them. Capacity curves, representing the applied axial load varying with relative
displacement between section A-A in the GFRP plate and section B-B in the steel (on
a base length of 350 mm), were obtained for all specimens, as shown in Figure 4. The
monitored displacement thus included both the local deformation of the connection and
some deformation of the plates. The specimens with end distances of 15 mm and 25 mm
exhibited shear-out failure, characterized by a sudden drop in the peak load (Figure 4a). In
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contrast, the specimen with an end distance of 70 mm (Figure 4b) showed a slight reduction
in the peak load, indicating pseudo-ductile behaviour typical of pin-bearing failure, with
shear-out failure then occurring at high displacements. The specimen with an end distance
of 35 mm (Figure 4b) exhibited the shear-out failure mode, but attained almost the same
initial peak as the 70 mm specimen, suggesting transitional behaviour from shear-out to
bearing failure.

 

 
(a) (b) 

Figure 3. “Type-A” based on tests on bolted connections by Martin et al. [17]: (a) main geometric
features of the samples and (b) experimental setup. Reprinted with permission from Martins, D.;
Gonilha, J.; Correia, J.R.; Silvestre, Thin-Walled Structures, Elsevier, 2021. © [17].

  
(a) (b) 

Figure 4. Force vs. displacement graph for “Type-A” tests with end distances of (a) 15 mm and
25 mm; (b) 35 mm and 70 mm.

3.2. GFRP Material Type-B

Gattesco and Boem [22] considered GFRP “Type-B” plates composed of E-Glass fi-
bre and an isophthalic polyester resin, with a fibre weight percentage of 60%. Exper-
imental standard tests were conducted to determine the mechanical properties of the
profiles according to EN ISO standards [60], and the results are summarized in Table 1.
The performance of the bolted connections was evaluated on plates with dimensions of
10 × 102 × 300 mm3 and 8 × 78 × 230 mm3. A centrally located hole with diameters
of 16 mm (M16) or 12 mm (M12) was created in each sample, and a close-fitting metallic
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pin was inserted in the hole. The bolt diameter-to-plate thickness ratio (d/t) was main-
tained at approximately 1.5 [24]. Additionally, the end distance-to-diameter (e/d) and
width-to-diameter (w/d) ratios were kept at about six times the bolt diameter. The samples
characteristics and the test setup are illustrated in Figure 5: the specimens were loaded
under double shear through a rigid fork mechanism composed of three metallic plates,
with 0.5 mm thick steel washers welded on the internal side of the fork brackets, acting as
spacers, to prevent the lateral confinement of the GFRP plate. During the tests, the applied
axial load and the relative displacement between the GFRP and the steel plates, at the
height of the pin axis (i.e., the local deformation of the connection), were recorded.

 

(a) (b) 

Figure 5. “Type-B” based on tests on bolted connections by Gattesco and Boem [22]: (a) main
geometric features of the samples and (b) experimental setup.

The force–displacement curves (Figure 6) show an initial linear elastic response, fol-
lowed by local plastic deformation in the vicinity of the bolt, due to pin-bearing. A
temporary drop in load occurred due to the splintering of the composite material near
the bolt, after which the load increased again. Pin-bearing failure emerged, as evidenced
from the evident pseudo-ductile post-peak phase. This pin-bearing failure was followed by
shear-out failure at a much larger displacement in some samples, as illustrated Figure 6b.
The pin-bearing load was found to be influenced by both the bolt diameter and the plate thick-
ness. The configuration with the d = 16 mm and t = 10 mm resulted in a higher pin-bearing
load compared to the configuration with a d = 12 mm bolt diameter and t = 8 mm. However,
the average pin-bearing strength (evaluated as the peak load divided by d·t) was lower in
the former configuration (149.50 MPa) than in the latter (208.90 MPa).

  
(a) (b) 

Figure 6. Force–displacement graph for “Type-B” tests, with (a) an M16 bolt with 6d spacing, and
(b) an M12 bolt with 6d spacing.
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3.3. GFRP Material “Type-C”

The “Type-C” material was composed of E-Glass fibre and an ophthalmic polyester
resin, with a fibre weight percentage of 68%; the detailed properties, which were determined
from the experimental campaign, are presented in Table 1. Higher transversal and out-
of-plane mechanical properties emerged with respect to Type-A and Type-B, as it also
incorporates triaxial laminates layers.

Explorative tests were recently performed on single-bolt double-lap joints on GFRP
plates with dimensions of 15 × 70 × 200 mm3, as well as with a bolt hole measuring
d = 13 mm and an end distance of e = 35 mm, as illustrated in Figure 7a. The test assembly
consisted of an inner GFRP plate sandwiched between two outer GFRP plates with the
same characteristics. The far end of the inner plate was clamped into the upper jaw of
the testing machine (Figure 7b). The far ends of the outer plates were bolted to an inner
steel plate measuring 10 × 50 × 200 mm3, clamped into the lower jaw. Both connections
had M12 bolts; a small torque of 18 N·m was applied, just to ensure proper alignment
along the centerline. The applied load was monitored against the relative displacement
between the jaws (Figure 8), thus including the deformation of the GFRP and steel plates
and possible slip at the clamping heads in the measurement of the local deformation of the
two connections.

 

 
(a) (b) 

Figure 7. “Type-C” tests on bolted connections: (a) main geometric features of the samples and
(b) experimental setup.

 

Figure 8. Force–displacement graph for “Type-C” tests, with M12 bolt and end distance of 35 mm.
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After an initial elastic phase, the load–displacement curves showed a temporary
but relevant stiffness reduction, from approximately 5 to 7 kN, associated with the bolts
clearance recovery, once the friction between the plates, due to the small torque, was
overcome. Then, the curves resumed their linear trend until the first peak was reached.
Aside from this temporary effect, it was verified that the low torque did not affect the
performance of the connection. The collapse of the samples was primarily dominated
by the shear-out failure at the upper joint, even though with initial pin-bearing damage
activation (attainment of the first peak), that immediately progressed toward the complete
shear-out failure of the inner GFRP plate (second peak), as depicted in Figure 8.

4. Numerical Results
4.1. Main Parameters of the Numerical Model

The numerical model described in Section 2 was used to simulate the experimental
results for the single-bolted joints collected in Section 3. The material densities were defined
as 1800 kg/m3 for the GFRP composite and 7850 kg/m3 for the steel components. For the
elastic material of the steel plates and bolts, a Young’s modulus of 195 GPa and a Poisson’s
ratio of 0.3 were assigned for Type-A configurations and values of 210 GPa and poison ratio
of 0.3 for the Type-B and Type-C configurations. For the elastic region of the GFRP plate,
the orthotropic engineering constant values from Table 1 were defined in three orthogonal
directions. A local coordinate system was applied to ensure the accurate representation of
the material orientation, aligned with the unidirectional fibre direction.

For the inelastic region of the GFRP plate, material input included the longitudinal
tensile and compressive strengths, transverse tensile and compressive strengths, and in-
plane and interlaminar shear strengths from Table 1. To simulate damage progression
after initiation, tensile and compression fracture energies (FEs) in both the longitudinal
and transverse directions were assigned, as presented in Table 2. These values were incor-
porated by Arruda et al. [43] in their user-defined Hashin-based UMAT model and were
obtained experimentally from a similar pultruded GFRP material by Almeida-Fernandes
et al. [61]. Since the present work used the same material, the Type-A material, considered
by Arruda et al. [43], along with comparable Type-B and Type-C GFRP materials, the
same values were assumed as initial input parameters, and subsequently refined through
targeted sensitivity-based calibration to improve accuracy (Section 6.1). In general, fracture
energies need to be determined for each specific material type through experimental tests,
namely compaction tension tests—to characterize intralaminar tensile and compression
fracture energies (longitudinal and transverse)— and double-cantilever-beam (DCB) tests
to determine interlaminar fracture energies.

Table 2. Fracture energies for longitudinal and transverse directions.

Property Type-A, B and C

Longitudinal Tensile Fracture Energy (LT-FE) (MPa.mm) 100
Longitudinal Compressive Fracture Energy (LC-FE) (MPa.mm) 600
Transverse Tensile Fracture Energy (TT-FE) (MPa.mm) 5
Transverse Compressive Fracture Energy (TC-FE) (MPa.mm) 20

A small damage stabilization factor value of 1 × 10−4 is also provided to stabilize the
damage progression. The explicit solver successfully simulates the analysis of all materials
and configurations, as reported and discussed in the following subsections.
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4.2. “Type-A” Simulations

For Type-A tests, load–displacement curves were obtained for each considered config-
uration and compared against the experimental results in Figure 9. Generally, the responses
matched closely in the elastic region, and the peak loads were accurately predicted for all
end distances.

 

 

(a) (b) 

 

 

(c) (d) 

 

 

(e) (f) 

Figure 9. Cont.
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(g) (h) 

Figure 9. Numerical vs. experimental results for “Type-A” tests: (a,c,e,g) load vs. displacement
graphs, and (b,d,f,h) damage at various displacements, for end distances of (a,b) 15 mm, (c,d) 25 mm,
(e,f) 35 mm and (g,h) 70 mm.

The sudden load drop, indicative of shear-out failure onset, was well captured for the
configurations with e = 15 mm (Figure 9a) and e = 25 mm (Figure 9c), as evidenced also from
the comparison between the numerical and experimental failure patterns (Figure 9b and d,
respectively). The shear damage in some elements around the lateral sides of the hole
on the compressed edge started at around 3.40 kN at a displacement of 0.24 mm in the
model with e = 15 mm, as well as at 4.1 kN and a displacement of 0.26 mm in the model
with e = 25 mm, and then progressed in the longitudinal, loading direction in the elements
along the end distance on the shear-out plane (Figure 9b,d). The first sudden reduction in
resistance occurred at a displacement of 0.6 mm and a peak load of 6.40 kN (for e = 15 mm),
or 0.85 mm (for e = 25 mm), when all the elements along the end distance of the shear-out
planes became damaged and the shear damage variable index became 1. As the shear-out
failure occurred, the capacity curve progressed with residual load, until a second reduction
occurred at a displacement of 4.40 mm (e = 15 mm) or 4.52 mm (e = 25 mm), when the
separation of the shear-out plane from the main plate occurred, as the elements along
the plane attained full damage. Figure 9b,d also show that no fibre compression damage
occurred throughout the analysis. Therefore, no bearing failure was activated in the model
with e = 15 mm and e = 25 mm.

On the opposite side, in the case where e = 70 mm, the bearing failure was correctly
simulated, as can be seen both from the post-peak pseudo-ductile phase of the capacity
curves (Figure 9g) and from the concentration of the compressive damage in the fibres
around the bolt (Figure 9h), which reflects the experimental damage pattern. The activation
of shear damage in elements around the hole started at a displacement of 0.27 mm and at a
load around 4.30 kN, as was the case for the model with e = 25 mm, and then progressed
as illustrated in Figure 9h. Within the elastic region, this shear damage decreased the
stiffness of the capacity curve. The longitudinal compression damage in elements around
the compressed edge of the plate near the bolt started at around 11.20 kN and became
full damage at a load of 13.25 kN (displacement 1.04 mm), where the pin-bearing failure
activated. The pin-bearing failure progressed with even more elements becoming damaged
under longitudinal compression. In the mean time, the shear damage in elements along the
shear-out plane also progressed, almost reaching one-fourth of the end distance at the point
of pin-bearing failure (Figure 9h). Moreover, when all elements along the end distance
on the shear plane became fully damaged, the final shear-out failure activated at a large
displacement (23.00 mm), where the resistance suddenly dropped from 10.58 kN to 3.1 kN.
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In the case where e = 35 mm (Figure 9e,f), shear damage also started at a displace-
ment of 0.27 mm in elements around the plate hole, which started to decrease the stiff-
ness of the curve within the elastic limit. Fibre compression damage started later at a
displacement of 0.77 mm (load is 11.21 kN similar to e = 70 mm). At the peak load, pin-
bearing failure first became activated in the numerical model at a displacement of 1.01 mm,
and was then followed by shear-out failure at a displacement of 3.25 mm. Actually, the
post-peak behaviour that resulted was overestimated in the portion before the shear-out
failure occurred. However, as can be seen from the capacity curve, the forces correspond-
ing to the activation of the two failure modes were very close. This confirms that the
35 mm end distance is approximately the threshold at which the transition between brittle
shear-out and ductile pin-bearing failure occurs in Type-A materials (as also evidenced
in Section 3.1). Further sensitivity analysis is required to carefully calibrate the elastic
moduli and strength parameters to directly attain shear-out failure without the activa-
tion of pin-bearing. However, the purpose here is to show the results obtained using the
average mechanical parameters available in the literature, as achieved via the standard
characterization tests carried out on the pultruded material. The final shear damage and
fibre compression damage at a displacement of 5.90 mm are also shown in Figure 9f, where
the separation of some portion from the main plate occurs.

No convergence issues emerged in all the simulated configurations, even when some
portion of the main plate became separated from it due to full damage to the elements.
Figure 10 contains a plot of the percentage ratio of kinetic energy (KE) to internal energy
(IE), as the applied displacement increased, in the four numerical simulations. It emerges
that the kinetic energy remained below 1% of the internal energy throughout the analysis,
ensuring that the system behaved in a quasi-static manner during the entire simulation,
and thus proving the reliability of the stress and strain results of the analyses.

 

Figure 10. Percentage of kinetic energy (KE) to internal energy (IE) for the “Type-A” models.

4.3. “Type-B” Simulations

The resulting load–displacement curve of “Type-B” configurations (Figure 11a,c)
demonstrated quite good agreement with the corresponding experimental data. However,
the peak load was somewhat overestimated in the case of the joint with d = 16 mm, while
in the case of the joint with d = 12 mm, the peak load was accurately estimated but the
behaviour after pin-bearing was underestimated. The final shear-out failure observed
after the large displacement was consistent with the experimental results of the joints.
The final failure patterns for both configurations are presented in Figure 11b,d, showing
a strong correlation with the experimentally observed damage modes. In Figure 11b, the
initiation and evolution of shear and compression damage are shown for the case with
d = 16 mm. The shear damage around the hole started at around 6 kN, at a displacement
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of 0.058 mm, and progressed within the elements along the end distance on the shear-out
plane. The shear damage within the elastic limit reduced the stiffness of the capacity curve.
Pin-bearing failure occurred at around 0.75 mm (29.50 kN), where the elements around
the plate hole on the compressed end reached full compression damage. Then, the shear
damage also progressed along the end distance and covered more than half of the end
distance. Complete shear-out failure occurred at around 3.20 mm, where all the elements
along the end distance on the shear plane became fully damaged under shear. The final
shear-out damage and fibre compression damage at a displacement of 5.95 mm are also
shown in Figure 11b. Similarly, the initiation and progression of shear and compression
damage are also shown for the case with d = 12 mm (Figure 11d). In this case, the shear
damage started at a displacement of 0.04 mm and load of 3.2 kN, affecting the stiffness
of the capacity curve. Pin-bearing failure occurred at a relative displacement of 0.68 mm
(18.51 kN); shear-out failure occurred at a displacement of 2.95 mm, where the resistance
dropped from 19 kN to 8 kN. The final shear-out damage and fibre compression damage
that occurred at a relative displacement of 4.79 mm are also shown in Figure 11d.

 
 

(a) (b) 

 
 

(c) (d) 

Figure 11. Numerical vs. experimental results for “Type-B” tests: (a,c) load vs. displacement graphs,
and (b,d) damage at the end of the test, for (a,b) M16 and (c,d) M12 pins.

No convergence issues were encountered during the simulation, enabling analysis
under large-displacement conditions. The percentage of kinetic energy (IE) to internal
energy (IE) was also less than 1%, which further confirms the quasi-static behaviour of the
model (Figure 12).
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Figure 12. Percentage of kinetic energy (KE) to internal energy (IE) for the “Type-B” models.

4.4. “Type-C” Simulations

The Type-C configuration was modelled and simulated, generally applying the fea-
tures outlined in Section 2, but the full asymmetric double connection is required to be
explicitly modelled. In the model, the inner steel plate was fixed, while gradually increasing
displacement was applied to the inner GFRP plate. The two outer GFRP plates, along
with the portion of the inner GFRP plate away from the bolt, were assigned purely elastic
properties, which are detailed in Table 1, since these regions remained elastic throughout
the test. Only the area of the inner GFRP plate surrounding the bolt, where plasticization and
failure occurred experimentally, was modelled with nonlinear properties from Tables 1 and 2.
To account for the effects of slip at the clamping heads, linear springs were introduced at
the far ends of the inner plates. Moreover, to account for the hole clearance, a gap of 1 mm
was introduced in the bolt–plate contacts. To simplify the representation of the friction
between the plates, due to the small bolt torque, rigid-plastic springs acting in the loading
direction were also added to connect adjacent plates.

Following this setup, the model was simulated to obtain the load–displacement re-
sponse, which was then compared with that in the experimental results, as shown in
Figure 13a. The initial trend was captured accurately by the model, and the peak load also
showed good agreement with the experimental results. However, the resulting post-peak
behaviour was governed by sudden shear-out failure. The damage pattern indicated that
bearing failure (compression damage) initiated simultaneously with the onset of shear-out
failure, as shown in Figure 13b. Furthermore, shear-out was predominant in the numerical
simulation, while in the experiment, it declined linearly. In this case, shear damage started
at a relative higher displacement of 2.60 mm (9.1 kN) in contrast to the case for the Type-A
and Type-B materials due to the effect of the bolt torque (Figure 13b). Shear-out failure
occurred at a displacement of 6.10 mm, where the resistance dropped from 38.42 kN to
16.70 kN. Fibre compression in the elements around the hole on the compressed side of plate
started at a displacement of 3.86 mm and at a resistance of 20.70 kN. The elements around
the hole were almost completely damaged under fibre compression at a displacement of
5.94 mm (38.33 kN). However, at the same time, at a displacement of 6.10 mm, sudden
shear-out failure also occurred. The final shear-out damage and fibre compression damage
at a displacement of 7.33 mm are shown in Figure 13b, which shows that some portion of
the main plate was separated from it along the end distance.
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(a) (b) 

Figure 13. Numerical vs. experimental results for “Type-C” tests: (a) load vs. displacement graphs,
and (b) damage at 6.40 mm.

No convergence issues were encountered during the simulation, enabling analysis
under large-displacement conditions. The percentage of kinetic energy (IE) to internal
energy (IE) was also less than 1%, which further confirms the quasi-static behaviour of the
model (Figure 14).

 
Figure 14. Percentage of kinetic energy (KE) to internal energy (IE) for the “Type-C” model.

5. Sensitivity Analysis for Computational Efficiency
Prior to setting the definitive model features described above, a sensitivity analysis

was performed to reduce computational costs while maintaining solution accuracy. Type-A
tests were considered as an example. Key parameters such as mesh size and mass scaling
(MS) were investigated.

5.1. Implicit Solver

An implicit solver with a general static procedure was used to perform the same
simulations with the same parameters as those used for the explicit solver, as this required
less computational time. The resulting load–displacement curves were compared with
those of the explicit solver, as shown in Figure 15.
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(a) (b) 

Figure 15. Implicit vs. explicit solver numerical results for “Type-A” tests for end distances of
(a) 15 and 25 mm, and (b) 35 and 70 mm.

The results evidence that the implicit solver properly captured the initial loading stage,
along with the shear-out failure mode in the configurations with smaller end distances
(e = 15, 25, 35 mm). However, the peak load in the configuration with e = 25 mm was under-
estimated, and required an increase in the original transverse tensile fracture energy (from
5 to 10 MPa·mm). Moreover, larger differences in the post-peak residual load estimations
emerged, and the simulations struggled with convergence issues in the nonlinear range
after a certain displacement stage (2–2.5 mm). The differences that arose are attributed to
the different solver algorithms used.

In the case of the e = 70 mm configuration, the original parameters incorrectly led
to shear-out failure; an increase in the original transverse tensile fracture energy (i.e.,
10 MPa·mm) would have been required to achieve pin-bearing-dominated failure. However,
the main drawbacks occurred in the case analysis performed later, when the implicit solver
encountered significant convergence difficulties after damage initiation and peak load
attainment, leading to the premature termination of the analysis (at about 2–2.5 mm). The
implicit solver in ABAQUS is efficient but, due to convergence issues, was not suitable to
simulate the pin-bearing failure of GFRP-bolted connections with the considered material
model. Therefore, even though requiring more computational time, ABAQUS/Explicit
turned out to be more versatile for simulating the different failure modes of a composite
connection.

5.2. Mass Scaling Strategy

Mass scaling (MS) was applied to decrease the analysis duration by introducing
artificial mass, which increased the stable time increment and thus reduces the total number
of increments required. This technique was implemented with caution, as any mishandling
may have affected the reliability and accuracy of the results. According to the ABAQUS
documentation, the maximum stable time increment is given by the following:

∆tSTABLE ≤ LC
cd

(1)
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where ∆tSTABLE is the stable time increment, LC is the smallest size in the mesh and cd is the
dilatational wave speed of the material, which can be calculated as follows:

cd =

√
E
ρ

(2)

Here, E is the young modulus of the material and ρ is the density of the material. In the
case of GFRP, which is an orthotropic material, the stable time increment was determined
for both directions, and the smallest stable time increment was selected to remain on the
safer and more conservative side. The stable time increments for the longitudinal and
transverse direction were 2 × 10−7 and 5.5 × 10−7, respectively. It is noted that the above
expressions are most accurate for materials with a low or zero Poisson’s ratio; hence, larger
increments were also tested as part of the sensitivity analysis.

For the joint with a 25 mm end distance, the stable time increment without mass
scaling was approximately 4.2 × 10−8, leading to a single simulation runtime of about
24.82 h on an eight-core CPU machine. To address this, mass scaling was applied in separate
simulations with target increments of 1 × 10−7, 2 × 10−7, 3 × 10−7, 5 × 10−7, 1 × 10−6,
and 5 × 10−6, while keeping all other parameters constant. The total computation time for
each case is shown in Table 3. The corresponding structural responses (capacity curves)
were plotted to evaluate the impact of mass scaling in Figure 16a. The results show that up
to target increment of 1 × 10−6, they are in high agreement with the non-scaling results.
The results for the target increment of 5 × 10−6 showed higher deviations at displacements
of 1.2 mm and 4.4 mm, while for the rest of the increments, they matched very well with the
results with no mass scaling. The percentages of kinetic energy to internal energy vs. the
displacement were also plotted for all mass scaling scenarios (Figure 16b). The percentage
ratio was very small up to 0.4% for all target displacements up to 1 × 10−6; however, it
was very large for a target increment of 5 × 10−6. Furthermore, the results show that, in
the latter case, there was a higher percentage ratio of KE to IE at 1.2 mm and 4.4 mm; the
results deviate to a large extent from the results for no mass scaling. The mass scaling
sensitivity analysis revealed that the optimum duration for the analysis can be 2.58 h for an
end distance of 25 mm, with reliable accuracy.

Table 3. Analysis duration with mass scaling for Type-A model with end distance of 25 mm and 70 mm.

Mass Scaling (MS)
(Target Increment)

Computational Time
(Hours) for Model

(e = 25 mm)

Computational Time
(Hours) for Model

(e = 70 mm)

No-MS 24.82 41.65
1 × 10−7 11.66 17.78
2 × 10−7 5.65 8.88
3 × 10−7 3.88 6.11
5 × 10−7 2.58 3.61
1 × 10−6 1.11 1.94
5 × 10−6 0.30 0.81

Similarly, mass scaling sensitivity analysis was carried out for a joint with an end
distance of 70 mm (Figure 16c) and target increment times of 1 × 10−7, 2 × 10−7,
3 × 10−7, 5 × 10−7, 1 × 10−6 and 5 × 10−6. The analysis without mass scaling required
a huge computational time of 41.65 h on a machine with eight-core CPUs. The duration
time significantly reduced to 3.61 h, with a target increment of 5 × 10−7. The dynamic
effects started from a target increment of 1 × 10−6, where the percentage of kinetic energy
to internal energy became higher than 1%, as shown in Figure 16d. Also in this case, the
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target increment of 5 × 10−7 provided the optimum duration of 3.61 h for the analysis,
with reliable accuracy.

  
(a) (b) 

  
(c) (d) 

Figure 16. Effect of mass scaling increments: (a,c) load vs. displacement graph and (b,d) percentage
of kinetic energy (KE) to internal energy (IE) for “Type-A” models with (a,b) 25 mm and (c,d) 70 mm
end distances.

5.3. Mesh Sensitivity Analysis

A mesh sensitivity analysis was performed to evaluate the influence of mesh refine-
ment on the accuracy, reliability, and computational cost of the nonlinear analysis of the
GFRP inelastic section only. The two end distances of 25 mm and 70 mm were investigated.

A series of mesh sizes were examined, ranging from very fine to very coarse con-
figurations, while keeping all other parameters constant. The reference mesh was a fine
mesh measuring 0.7 × 0.7 × 1 mm3, containing 6040 elements. The finest resolution of
0.5 × 0.5 × 1 mm3, resulting in 11,888 elements, was considered. Subsequently,
lower-resolution meshes were tested, including 0.8 × 0.8 × 1 mm3 (4532 elements),
1.0 × 1.0 × 1.0 mm3 (2856 elements) and 1.5 × 1.5 × 1.0 mm3 (1236 elements). The
respective mass scaling target increment factors, which were different for each mesh size,
were calculated from Equation (1).
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The capacity curves for the e = 25 mm configuration (Figure 17a) show that for all
meshes, the elastic region was the same, followed by very similar peak loads. However,
different residual loads were observed in all cases after the first drop. The residual load
was the highest with the finest mesh containing 11,888 elements, while it was the smallest
for the coarse and very coarse meshes, with 4532, 2656 and 1236 elements. The fine mesh
(6080 elements) had an intermediate residual load value. Furthermore, the second reduction
was observed only for the finest mesh with 11,888, 6080, and 4532 elements, leading to
a second reduction with finest mesh size early on. On the other hand, in the case of the
coarse and very coarse mesh sizes, the capacity curves showed an increasing trend instead
of a second reduction. This led to the conclusion that the desired behaviour starts with
a coarse mesh size with 4532 elements, while a 6080-element mesh size, which shows an
intermediate residual load and a definite second reduction, is an optimize mesh size to
consider with regards to computation time and accuracy.

  
(a) (b) 

Figure 17. Load vs. displacement graph for model with (a) 25 mm and (b) 70 mm end distances, with
varying mesh sizes in inelastic part of GFRP plate.

The capacity curves for the e = 70 mm configuration are presented in Figure 17b. The
very coarse mesh exhibited a higher peak load, with results that were significantly skewed,
showing underestimations after the peak load and overestimations beyond a displacement
of 5 mm. Moreover, the very coarse mesh also accelerated the final shear-out failure. The
coarser mesh produced a peak load comparable to that of the fine and very fine meshes,
though with slightly more scattered results. The fine and very fine meshes displayed nearly
identical behaviour, maintaining consistency up to a displacement of 11 mm. The final
shear-out failure occurred at slightly different displacements, with the finest mesh size
accelerating this shear-out failure compared to the fine mesh. Overall, when comparing the
behaviours, the mesh with 13,208 elements provided stable and consistent results closely
matching those of the very fine mesh. Consequently, this mesh size was selected for the
simulations, to ensure a balance between computational efficiency and accuracy.

6. Mechanical Parametric Study
6.1. Fracture Energy Parameter Sensitivity

To understand the behaviour of the Hashin damage criterion in individual failure
modes, a sensitivity analysis was first carried out using a 10 × 10 × 10 mm3 cube model.
This preliminary study aimed to evaluate how different failure modes are triggered inde-
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pendently, considering that in a bolted joint, all failure modes may be activated even under
uniaxial tensile or compressive loading. The cube was modelled using continuum shell
elements and subjected first to pure longitudinal tensile loading, and then longitudinal
compressive loading followed by transverse tensile and compressive loading. A mesh size
of 0.7 × 0.7 × 1 mm3 was used to capture the damage’s initiation and progression accurately.
The aim of the simulation was to observe the crack/crush initiation point and the post-peak
behaviour based on varying values of longitudinal tensile and compression fracture energy
(FE), ranging from 50 MPa·mm to 600 MPa·mm. For the transverse direction, the range
selected was from 1 MPa·mm (indicating brittle behaviour) to 100 MPa·mm (suggesting
ductile response), as the strength and elastic modulus in this direction are significantly
smaller than those in the main longitudinal direction.

The obtained stress–strain curves (Figure 18a,b) revealed a typical pattern: an initial
linear elastic region, followed by damage initiation at peak load, and then a gradual or
steep linear strength reduction depending on the fracture energy. Lower fracture energy
led to a sharper post-peak drop, indicating brittle failure, whereas higher fracture energy
resulted in a gentler slope, representing more ductile behaviour.

  
(a) (b) 

Figure 18. Load–displacement graph for cube model under (a) pure longitudinal tensile and com-
pressive loading; (b) pure transverse tensile and compressive loading.

Experimental evidence and the literature indicate that pultruded GFRP profiles exhibit
brittle behaviour under longitudinal tension, with many researchers using a fracture energy
value around 100 MPa·mm, which aligns with a steep post-peak decline [43]. It was also
observed that under pure longitudinal tensile loading, fracture energies in other directions
had negligible influence; the damage’s evolution was governed solely by the longitudinal
tensile fracture energy. On the other hand, the compressive behaviour of pultruded GFRP is
typically less brittle than that under in tension, and thus a relatively higher fracture energy
value of 600 MPa·mm was selected for the bolted joint simulations.

The sensitivity analysis for fracture energies was also carried out using the Type-A
model with e = 25 mm and 70 mm. For the model with e = 25 mm, the first sensitivity
study was performed on the transverse tensile fracture energy, varying it from the original
5 MPa·mm to 1 MPa·mm, 10 MPa·mm, and 20 MPa·mm. The load–displacement graphs
(Figure 19a) revealed that, as the transverse tensile fracture energy increased, both the
peak load and the residual strength increased. A notable difference was observed between
the peaks corresponding to 5 MPa·mm and 1 MPa·mm; with 1 MPa·mm, the second
reduction occurred at a much earlier stage (1.21 mm). When increasing the fracture energy
beyond 5 MPa·mm to 10 MPa·mm and 20 MPa·mm, the increase in peak load was smaller
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compared to the difference observed at 1 MPa·mm. In all cases except 1 MPa·mm, the
second reduction occurred at approximately the same displacement of 4.52 mm, as all
elements along the end distance on the shear plane became fully damaged. From this
analysis, it is concluded that the transverse tensile fracture energy significantly affects the
peak load, the residual strength, and the behaviour after the residual load.

  
(a) (b) 

  
(c) (d) 

  
(e) (f) 

Figure 19. Load–displacement curves from sensitivity analysis of fracture energies (F.E): (a–c) for a
25 mm end distance: (a) transverse tensile F.E, (b) transverse compression F.E, and (c) longitudinal ten-
sile and compression fracture energies; (d–f) for a 70 mm end distance: (d) longitudinal compression
F.E, (e) longitudinal tensile F.E, and (f) transverse tensile and compression fracture energies.
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Similarly, sensitivity analysis was performed for the transverse compression fracture
energy, and the resulting capacity curves were plotted (Figure 19b). The results showed no
effect on the peak load; however, the residual load after the peak was slightly influenced.
The post-peak behaviour was more noticeably influenced when the fracture energy was
raised from 5 MPa·mm to 10 MPa·mm, while it was less prominent when it was further
increased from 20 MPa·mm to 30 MPa·mm. The second reductions after the residual
behaviour consistently occurred at a displacement of approximately 4.52 mm.

Furthermore, the longitudinal tensile fracture energy was increased from 100 MPa·mm
to 600 MPa·mm, and the longitudinal compression fracture energy was decreased from
600 MPa·mm to 100 MPa·mm. As expected, the resulting capacity curves (Figure 19c),
compared with the standard fracture energy curve, indicated no significant effect on
behaviour. Only a slight increase was observed after the second drop in residual strength
in the case of a 600 MPa·mm tensile fracture energy. Overall, it can be concluded that
longitudinal tensile and compression fracture energies have minimal impact in joints
dominated by shear-out failure.

For the model with a 70 mm end distance, for which the dominant failure mode
was bearing failure, the first sensitivity study was conducted by varying the longitudinal
compression fracture energy from 100 MPa·mm to 800 MPa·mm. The curves (Figure 19d)
show that the first peak load remained unaffected by changes in longitudinal compres-
sion fracture energy. However, the first drop after the peak was more pronounced for
100 MPa·mm and 200 MPa·mm than for 400 MPa·mm, 600 MPa·mm, and 800 MPa·mm;
in the latter cases, it became stabilized. Additionally, the second peak after the first drop
was more prominent and comparable for the 400/600/800 MPa·mm cases, slightly lower
for the 200 MPa·mm condition and notably reduced for the 100 MPa·mm condition. The
displacement related to the final shear-out failure, which occurred after large deformations,
tended to increase as the fracture energy decreased (22.9 mm for 800 MPa·mm, 23.0 mm
for 600 MPa·mm, 24.0 mm for 400 MPa·mm, 25.5 mm for 200 MPa·mm, and 29 mm for
100 MPa·mm).

Similarly, the longitudinal tensile fracture energy was increased from 100 MPa·mm to
600 MPa·mm, and the resulting capacity curves were plotted (Figure 19e). This increase
had almost no effect on the overall behaviour, although it helped stabilize the small, local
load reduction at around 11 mm. This stabilization is attributed to the limited longitudinal
tensile damage occurring in a few elements around the hole, which was better controlled
by higher tensile fracture energy. Nonetheless, it did not impact the bearing failure mode of
the joint. However, it is reasonable to assume that the composite in tension had relatively
brittle behaviour, as has already been discussed.

Additionally, the transverse tensile fracture energies, which increased from 5 MPa·mm
to 10 MPa·mm, and transverse compression fracture energies, which increased from
20 MPa·mm to 30 MPa·mm, were investigated (Figure 19f). The increase in the transverse
tensile fracture energy did not influence the peak load or the subsequent load reduction,
which was associated with bearing failure, but led to an increased post-peak load response
after reaching about 6 mm, as well as an evident delay in the onset of the final shear-out
failure (at 33.6 mm). However, increasing the transverse compressive fracture energy
exhibited a negligible impact on both the peak load and the overall load–displacement
behaviour just slightly before the final shear-out failure.

In conclusion, the analysis clearly indicates that for the joint with shear-out failure as
the dominant mode, the transverse tensile fracture energy played the most significant role.
It directly influenced the peak load, the residual strength, and the overall post-residual
behaviour of the connection. In contrast, variations in the other fracture energies—namely
longitudinal tensile, longitudinal compression, and transverse compression—exhibited
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negligible effects on the global response under this configuration. Differently, for the joint
where bearing failure governed the response, the behaviour was primarily affected by the
longitudinal compression fracture energy. Changes in this parameter notably alter the post-
peak behaviour and the progression towards the final shear-out failure. In addition, the
transverse tensile fracture energy showed an appreciable influence at large displacements,
also affecting the final stage of shear-out failure. On the other hand, the longitudinal
tensile and transverse compression fracture energies had a minimal impact on the overall
structural behaviour.

6.2. Strength Parameter Sensitivity

The variation in the main strength parameters was investigated for both shear-out
and bearing failure-dominated connections, using the Type-A model with e = 25 mm and
70 mm, respectively.

At first, the shear strength was varied from the standard 35 MPa to 25 MPa and
45 MPa. Predictably, the results showed that shear strength has a significant impact on
the peak load for the model with e = 25 mm (Figure 20a). Specifically, the peak load
increased with increasing shear strength. The post-peak residual resistance, however, was
similar in all cases, as it was primarily influenced by the transverse tensile fracture energy
(as previously demonstrated in Section 6.1), which remained the same across the three
models with different shear strengths. Notably, for the model with a shear strength of
25 MPa, the second drop occurred earlier (3 mm) than for the 35 MPa and 45 MPa models
(4.5 mm). Similarly, for the model with an end distance of e = 70 mm, the shear strength
had a significant influence on the peak load (Figure 20b). An increase in shear strength not
only raises the peak load but also delays the onset of final shear-out failure, resulting in an
overall increasing trend for this behaviour in the load–displacement response.

  
(a) (b) 

  
(c) (d) 

Figure 20. Load–displacement curves from parametric strength values: (a) for shear strength in
model with 25 mm end distance, (b) shear strength in model with 70 mm end distance; (c) transverse
tensile strength in model with 25 mm end distance: (d) longitudinal compressive strength in model
with 70 mm end distance.
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The effect of transverse tensile strength was also investigated by varying it from the
standard 29 MPa to 20 MPa and 40 MPa for model with e = 25 mm. The results (Figure 20c)
indicate that the peak load was slightly affected, with a similarly minor impact on the
post-peak behaviour, until about 3 mm. However, for the model with the lower transverse
tensile strength, the second drop occurred earlier, at a displacement of around 3 mm.

To investigate the influence of the longitudinal compression strength in the model
with e = 70 mm, the strength value varied from the standard 316 MPa to 280 MPa and
340 MPa. The results (Figure 20d) show that with higher compression strength, the peak
load slightly increases, the post-peak behaviour exhibits an upward trend, and the final
shear-out failure occurs earlier, consistent with the observations made for variations in
longitudinal compression fracture energy.

7. Conclusions
In this study, comprehensive and detailed numerical simulations were carried out to

investigate the behaviour of GFRP double-lap bolted joints using ABAQUS/Explicit. Three
different GFRP materials with varying geometric configurations for double-lap joints were
modelled. The inbuilt Hashin failure criteria were employed for damage initiation and
progression, with damage evolution governed by calibrated fracture energies in both the
longitudinal and transverse directions. The following key conclusions were drawn:

• Capturing Different Failure Modes in A Simulation: The explicit solver simulations
effectively captured distinct failure modes, including shear-out and pin-bearing fail-
ures. The numerical results showed good agreement with experimental observations
across most configurations. However, for joints representing a transition between
bearing and shear-out dominated failures, further calibration of the elastic moduli,
strengths and fracture energies is recommended to improve the predictive accuracy.
Furthermore, the shear-out failure in the numerical simulations appeared more abrupt
compared to the slightly less steep strength reduction observed in experiments, due to
the current inherent limitation of purely brittle intralaminar failure formulations in
the ABAQUS material model. Further refinement should include linear or exponential
declination. However, shear-out failure is undesirable from the structural design point
of view, since this implies a sudden failure of the connection. Conversely, the goal
is to design connections governed by a pin-bearing mechanism, which—as clearly
proven experimentally—exhibits pseudo-ductile behaviour. This aspect is particularly
important in multi-bolt connections, as it enables effective load redistribution. Shear-
out failure that appears slightly more brittle than that observed experimentally can
be considered, in this sense, a conservative assumption. Additionally, it is important
to note that the fracture energy values employed in this study were calibrated and
adopted from the existing literature, without direct experimental validation specific
to the materials under investigation. Similarly, certain strength parameters were as-
sumed based on typical values reported in the literature, rather than being determined
through dedicated experimental characterization. These aspects introduce inherent
limitations to the predictive accuracy of the models, particularly when extending the
findings to different geometries or loading scenarios.

• Explicit/Implicit Solver Performance: The explicit solver successfully simulated all
models with different end distances and material types, reliably capturing damage
initiation and progression without any convergence issues. On the other hand, the
implicit solver consistently struggled with post-damage initiation, particularly failing
to model bearing failures beyond the onset of damage. The implicit solver also
struggled in the case of shear-out failure for larger deformations. This highlights
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the explicit solver’s outstanding capability for simulating progressive damage in
GFRP-bolted joints.

• Mass Scaling and Mesh Sensitivity: Mass scaling techniques were successfully applied,
reducing the computational time from 24–42 h to approximately 2–6 h without com-
promising accurateness of the results. Mesh sensitivity analysis was also performed to
optimize element counts, ensuring a balance between computational efficiency and
numerical precision.

• Fracture Energy Sensitivity: Systematic sensitivity analysis was conducted to inves-
tigate the role of different fracture energies on the peak load, residual load after the
peak load and post-peak failure behaviour. Transverse tensile fracture energy had
the most pronounced effect on shear-out failures, directly influencing the peak load,
the residual load after the first peak, and the final post-residual load drop. Increas-
ing this parameter also delayed the onset of the final shear-out failure. The other
longitudinal tensile and compression fracture energies and transverse compression
fracture energies have minimal impact on the overall behaviour of the shear-out failure.
Longitudinal compression fracture energy primarily affects the pin-bearing response,
while transverse tensile fracture energy has no effect on the peak load and overall
behaviour. However, it only delays the final shear-out failure when increased. The
other fracture energies have no impact on the behaviour of pin-bearing failure.

• Parametric Study On Strength Parameters: Parametric analyses were performed con-
sidering the tensile, compression and shear strength. The shear-out-dominated failure
was most sensitive to in-plane shear strength and transverse tensile strength: an in-
crease in these parameters elevated the peak load and enhanced the post-peak response.
In configurations dominated by pin-bearing failure, both shear strength and longitudi-
nal compressive strength significantly influenced the bearing behaviour. Increasing
these strengths raised the peak load and improved the overall load–displacement
response, and the shear strength delayed the final shear-out failure.

• Limitation of Numerical Models: The developed numerical models are well suited
for accurately simulating double-lap bolted joints, where out-of-plane stresses and
deformations are minimal. That is why continuum shell elements, which neglect out-of-
plane stresses and reduce the computational time, were employed; in this specific case,
this simplification does not affect the accuracy of the results. However, for single-lap
joints, where significant out-of-plane bending and associated stresses occur, the current
modelling approach could become inadequate, and the continuum shell elements may
no longer be appropriate. Accurately capturing these three-dimensional stress states
would require the use of solid 3D elements in combination with user-defined material
subroutines (UMAT or VUMAT) in ABAQUS, since the built-in Hashin failure criteria
in ABAQUS apply only to shell and continuum shell elements. This underscores the
necessity of using advanced modelling techniques to accurately predict the complex
failure mechanisms in single-lap GFRP bolted joints. However, employing UMAT
or VUMAT subroutines will substantially increase both the computational cost and
complexity of numerical simulations.

• Future Work: The present model has so far been established and validated mainly
for in-plane loading conditions and specific connection configurations. Its applicabil-
ity to different geometries and loading scenarios therefore remains to be evaluated.
Thus, now that the material models have been validated and the influence of the key
parameters has been established through detailed parametric studies, this research
will be further extended to investigate multiple bolted connections, as well as the
strengthening of single- and multi-bolted joints, e.g., by using externally bonded fibre-
reinforced sheets. For this purpose, the modelling assumptions and simplifications of
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the model are deemed sufficiently accurate to support reliable simulation. Neverthe-
less, ongoing study is also directed toward extending the model to transversal and
inclined loading conditions. Alongside the numerical simulations, experimental tests
are currently being carried out to refine the model on the basis on the specific PFRP
material, through comparison with the experimental results of single-bolt tests, and to
validate the developed model, through comparison with the experimental results of
multi-bolt connections.
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